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ABSTRACT 

 
Cladding creep is the dominant deformation regime for spent fuel in dry storage, and the evaluation of 
creep related time-dependent damage is an essential component of spent fuel storage licensing.  Several 
potential damage mechanisms have been postulated for spent fuel in dry storage, which include 
accelerated (tertiary) creep leading to creep rupture, delayed hydride cracking (DHC), and stress 
corrosion cracking (SCC).  These mechanisms are examined in detail in this report with the objective of 
determining their effect in potentially limiting the creep capacity of spent fuel cladding in dry storage.  It is 
shown that the spent fuel environment lacks the conditions that are necessary for SCC and DHC 
mechanisms to become operative in dry storage.  The prevention of creep rupture of spent fuel rods, as a 
safety goal for long-term storage, is demonstrated using a conservative strain-based criterion.  Sufficient 
data and analytical modeling exist to show that a strain limit of 2% can be safely used as an asymptotic 
limit for fuel rods normally discharged from reactors without imposing any restrictions on oxide thickness 
or physical conditions. 
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1 
INTRODUCTION 

 
Current regulatory practices governing spent fuel dry storage, NUREG-1536, 1997 [1], allow a 
very low probability (0.5%) of cladding failure during long-term storage.  Implied in this 
statement is the acceptance that a small percentage of the rods (up to ~25 rods in a 24-PWR-
assembly cask) may fail.  Implicitly, this presumes that the requisite analytical modeling 
capabilities exist for predicting fuel rod failure frequency.  The object of analytical modeling is 
the determination of two inter-dependent response states: cladding creep deformations over the 
projected storage life, and potential loss of cladding integrity by one of several postulated 
damage mechanisms. Of these damage mechanisms, the following are relevant: accelerated 
(tertiary) creep leading to creep rupture (CR), delayed hydride cracking (DHC), and stress 
corrosion cracking (SCC).  The conditions that govern these failure mechanisms are strongly 
dependent on the initial thermo-mechanical and physical states of the cladding when first placed 
in dry storage.  These include temperature; stress; chemical composition including hydrogen 
concentration, distribution, and hydride morphology; fast fluence; ....  Each of these conditions 
plays a role, to varying degrees, in determining the deformation rate and ultimately cladding 
failure potential.  This report will examine each of these failure mechanisms as they relate to dry 
storage conditions, with the objective of determining which mechanism governs the deformation 
capabilities of spent fuel in dry storage.  
 
The above list of failure mechanisms leaves out a fourth mechanism [2], which is the thermally 
activated micro-cavitation leading to failure by diffusion-controlled cavity growth (DCCG).  This 
mechanism is thoroughly discussed elsewhere (Hayes et al., 1999 [6]; Pescatore and Cowgill, 
1994 [7]) and is excluded from consideration in this report.  However, a brief historical 
background would be appropriate at this point. 
 
Traditional methods for the life-prediction of structural components operating in the creep 
regime have utilized phenomenological models that rely on creep-strain data generated as 
function of stress, temperature, and time. In contrast, DCCG-based methods utilize mechanistic 
models that rely, not on creep data for the calculation of creep-related damage in the cladding 
structure, but on assumed materials microstructural parameters that are not easily measurable 
(e.g., grain boundary diffusion coefficient [6,7].  
 
In the eighties, NRC reviewers invoked the DCCG mechanism for determining allowable peak 
cladding temperatures. The DCCG model, which has the unusual property of predicting global 
fracture without any strain in the material, freed the regulatory review process from having to 
rely on the few post-irradiation thermal creep data that were available at the time.  Lawrence 
Livermore National Laboratories' (LLNL) version of the DCCG model (Schwartz and Witt, 1987 
[3]), based on earlier work by Raj and Ashby, 1975 [4], eventually became NRC's tool for 
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verifying that cladding temperatures remain below expected damage thresholds for normal 
conditions of storage. 
 
The NRC recently dismissed LLNL's DCCG model as being "overly restrictive and relatively 
inflexible" and also stated that "recently developed literature does not support the use of this 
model for zirconium-based materials" [8].  Finally, Ref. 8 stated its continued acceptance of the 
Commercial Spent Fuel Management (CSFM) methodology developed by PNNL.  The CSFM 
methodology (Chin et al., 1986 [5]) contains five fracture mechanisms, which include the cavity 
growth mechanism prescribed by the DCCG model.  However, there are important differences, 
both in the models' treatments and the numerical values of the models' parameters, between 
LLNL's and PNNL's versions of Raj's and Ashby's original construct of creep-cavity growth 
mechanism.  Closer examination reveals that the DCCG damage mechanism dominates the 
predictions in the CSFM methodology for the stress and temperature conditions of interest to dry 
storage.  Although the NRC continues to subscribe to PNNL’s CSFM methodology, whose 
predictions are rooted in the DCCG model, it has stated that it will accept a strain-based model 
for determining the maximum initial storage temperature (ISG-11, 1999 [8]). 
 
The approach adopted in this report is a return to traditional engineering creep methods relying 
on strain-based models. 
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2 
STRESS CORROSION CRACKING (SCC) MECHANISM 

 
Background 
 
The emergence of stress corrosion cracking (SCC) as a fuel failure mechanism dates back to the 
early seventies when BWR fuel ramped to high power began to experience failures.  The failure 
mechanism was attributed to stress corrosion cracking induced by iodine, or other corrosive 
fission products such as cadmium-cesium, and came to be known as PCI (pellet-cladding 
interaction). In the two decades after PCI established itself as a power-limiting failure mechanism 
for LWRs in general, considerable research was undertaken at a number of institutions.  An 
exhaustive review of the literature describing this research is outside the scope of this report, but 
it is relevant to give a brief outline of the state of the art as it relates to spent-fuel dry storage. 
 
In the earliest reported studies of iodine-induced stress corrosion cracking of Zircaloy cladding 
(Rosenbaum, 1966 [9]; Garlick et al., 1971 [10]), the PCI phenomenon was simulated by 
thermally expanding a tightly fitted stainless steel mandrel inserted into a Zircaloy tube 
containing iodine vapor. Subsequent research, which proliferated in the seventies and eighties, 
used other techniques to simulate PCI conditions, including slotted rings, pressurized tubes, 
cracked ceramic annulus, and fracture-mechanics specimens.  This research can be grouped into 
three major areas: (a) fundamental material behavior tests to characterize the SCC phenomenon 
[9-17]; (b) special effects time-to-failure tests and analytical modeling to develop fuel response 
prediction methods [18-23]; and (c) test-reactor power ramp integral tests to characterize in-
reactor behavior [24-28] and to support the development of PCI-resistant cladding [29-31].  The 
cited references, which constitute only a partial list of a very large volume of work, show that the 
SCC phenomenon is sufficiently well characterized to allow extrapolation to spent fuel dry 
storage conditions.  Extrapolation of the in-reactor PCI failure mechanism to spent fuel in dry 
storage is examined in some detail below. 
 

PCI Mechanism 
 
The prerequisite for PCI failures is the concomitant release of fission products to the fuel rod gap 
and the generation of sufficiently high PCMI (pellet-clad mechanical interaction) stresses during 
power ramps.  Analytical modeling of the PCMI phenomenon show that the stresses needed to 
initiate PCI failures had to be highly focused (concentrated at pellet cracks) and rising during the 
power ramp to nearly 80% of the materials yield strength [20,23].  This state of high stress, 
which begins to undergo rapid relaxation immediately at the end of the power ramp due to fuel-
pellets compressive creep, must remain above the threshold stress for the required incubation 
time needed to initiate SCC. Thus, the time-at-stress combined with the simultaneous availability 
of corrosive fission products are the primary factors that control the PCI failure mechanism.  
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These conditions are not duplicated in exactly the same way in dry storage, and neither are they 
precisely simulated in laboratory tests, as we shall see below. 
 

Role of Chemistry 
 
Laboratory tests conducted in iodine vapor indicate that the minimum iodine availability for 
stress corrosion cracking is of the order 10-6 g per cm2 (Busby et al., 1975 [32]; Peehs et al., 1979 
[33]).  This amount of iodine is associated with a fission gas release of less than 1%, which 
indicates that sufficient iodine can be released during in-reactor irradiation.  Equilibrium 
thermodynamics, however, require that any iodine isotopes that reach the cladding should do so 
in the form of cesium iodide.  Therefore, there must be a release of elemental iodine from cesium 
iodide by gamma or other forms of high-energy radiation (Cubiccioti and Davies [34]), a 
condition that is not duplicated in spent fuel storage.  Moreover, during storage, fission gas is 
neither generated, nor released.  The fuel temperature in storage is well below the Vitanza 
threshold (about 1000°C for high burnup fuel) for fission gas release from the grains to the grain 
boundaries and then to the fuel rod free volume. This suggests that the availability of elemental 
iodine in the fuel-cladding gap is too small to provide sufficient iodine flux for diffusion into the 
cladding to initiate SCC.  Also, there is no data to indicate that SCC can be induced by solid state 
diffusion of cesium iodide.  It can be concluded, therefore, that the iodine-related chemical 
environment in dry storage is sub-critical, or marginal at best, to induce SCC failures. Other 
forms of corrosive environments are discussed next. 
 
Iodine may not necessarily be the only corrosive fission product that can induce SCC failures 
(see the discussion to Tasooji et al., Ref. 35).  Arguments have been made that cadmium-cesium 
plays a similar role to iodine in embrittling the cladding.  Cox and Haddad [36] have shown that 
no distinction can be made fractographically between failures obtained in the laboratory in iodine 
vapor and those in cadmium-cesium vapor.  However, the situation is quite different under dry 
storage conditions, as already discussed in the case of iodine.  As to cadmium-bearing cesium, it 
is in a liquid state at room temperature, but has a high boiling point of 671°C.  The major portion 
of cesium would have been released to the plenum during in-reactor irradiation when it was in a 
predominantly gaseous state, and would partially condense there because of the lower 
temperature.  The remainder may become attached to the fuel and cladding surfaces in the 
relatively low-temperature gap region.  The entire inventory will have condensed to a liquid form 
upon reactor shutdown and removal of the fuel to the spent fuel pool.  The Cox and Haddad tests 
referenced above [36] were conducted in cesium/cadmium vapor and at much higher stresses 
than normally present in spent fuel rods.  Syrett et al. [37] have shown that Zr-4 embrittlement by 
liquid cesium can be produced in the laboratory only if the cesium has low oxygen content and is 
contaminated with a trace of iron.  Moreover, the applied stress in the Syrett et al. experiments 
had to exceed the yield strength of the material, unlike iodine-induced SCC where the threshold 
stress is lower than the yield strength. 
 
The above observations lead to the conclusion that extrapolation of in-reactor cadmium-cesium 
and iodine-related environments to dry storage cannot be justified mechanistically on the basis of 
the available data.   
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Role of Stress and Time-at-Stress 
 
SCC failure evolves in two stages: a relatively long incubation (crack-nucleation) stage and a 
much shorter crack-propagation stage. The stress and the strain rate play a dominant role in 
determining the failure time and the failure mode:  the higher the stress, the shorter the time to 
failure; and the higher the strain rate, the more likely the failure will be by fast crack propagation 
in a transgranular cleavage mode.  At low stresses and low strain rates, SCC failure is 
predominantly by the much slower process of intergranular crack growth.  As we shall further 
see, under the very low creep-strain rates and sub-threshold stresses, typical of dry storage 
conditions, intergranular cracking is nearly impossible to initiate, which would preclude the 
second stage of transgranular crack propagation. 
 
Laboratory tests have shown that the incubation time depends strongly on the surface conditions 
of the specimen.  For example, smooth specimens, or specimens with scratches or shallow flaws, 
were found to behave like smooth specimens with relatively long incubation time, whereas 
fatigue-cracked specimens with deeper sharp cracks showed considerably shorter failure times.  
The major portion (75%) of incubation time is taken up in creating the proper conditions needed 
to nucleate a crack in a previously uncracked material.  Thus, if the incubation time is primarily a 
measure of the evolution of the crack tip geometry, then once the crack initiates and the crack-tip 
stress intensity factor KI reaches the SCC fracture toughness KISCC, the crack velocity increases 
rapidly by several orders of magnitude (Figure 2-1), and SCC failure is completed fairly quickly 
in a transgranular mode.  This gives rise to three major conditions that have important 
significance to spent fuel application.  First, once the assumption is made that the appropriate 
corrosive environment is available in the gap, a necessary, but not sufficient, condition for failure 
is for the cladding stress to exceed the threshold stress for SCC.  Second, a stress-dependent 
minimum incubation time is needed to create the proper conditions for crack nucleation.  Third, 
once a crack tip is formed, a necessary and sufficient condition for transgranular crack 
propagation is a stress intensity factor KI in excess of KISCC.  Because the cladding stress changes 
very slowly with time in a spent fuel rod, the first and third conditions govern the SCC process in 
dry storage, unlike the in-reactor situation where the time-at-stress is dictated by the stress 
relaxation rate during and after power ramps.  These conditions are interdependent and must take 
place sequentially before SCC can occur in dry storage.  The manifestation of these conditions in 
dry storage is discussed below. 
 
The laboratory data reported in the above-cited literature was obtained for a variety of test 
conditions.  These included pressurized smooth and scratched tubes, split ring samples, double 
cantilever samples, notched samples with and without sharp starter cracks, as received stress-
relieved samples, fully re-crystallized samples, pre-oxidized and hydrided samples, unirradiated 
and irradiated samples, Zr-2 and Zr-4 material, etc.  A survey of the SCC data shows that for 
relevant temperatures (above 300°C), the threshold stress for inducing failure by SCC in 
internally pressurized annealed Zr-2 tube samples is approximately 360 MPa and 180 MPa for 
unirradiated and irradiated materials, respectively.  Threshold values for stress relieved Zr-4 
samples are 300 MPa and 200 MPa for unirradiated and irradiated materials, respectively.  
Typical data is exhibited in Figure 2-2 from Roberts et al. (1979) [18] and Figures 2-3 and 2-4 
from Brunisholz and Lemaignan (1987) [22].  The latter data was obtained for as-received Zr-4 
17x17 stress-relieved and re-crystallized cladding samples.  The differences in the data between 
the two lots in Figures 2-3 and 2-4 are due to differences in texture and heat treatment, but the 
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threshold values for both lots are 300 MPa for specimens with no fatigue-induced starter cracks.  
Pre-cracked specimens will be discussed in the next sub-section in connection with the effects of 
inner surface flaws.  Applying the 2/3 factor, from Roberts et al. [18], to Brunisholz and 
Lemaignan data [22] to account for irradiation effects, the threshold stress is also 200 MPa.  For 
the limiting case of a 17x17 configuration, with an oxide thickness of 100 µm, the cladding hoop 
stress is conservatively calculated to be less than 150 MPa. This is well below the threshold 
value of 200 MPa for irradiated Zr-4. 
 

Effects of Irradiation/High Burnup 
 
The effects of irradiation and high burnup on the cladding’s susceptibility to SCC involve three 
important factors: irradiation hardening, hydrogen content and hydride morphology, and inner-
surface flaws.  The data of Roberts et al. [18] indicates that the effect of irradiation is to reduce 
the threshold stress by a factor of 2 for Zr-2, from 360 MPa to 180 MPa, and by a factor of 1.5 
for Zr-4, from 300 MPa to 200 MPa.  However, Videm and Lunde [38] show the opposite trend, 
with irradiation raising the SCC stress threshold for Zr-2 by 50 MPa at 340°C.  No explanation 
was given by Videm and Lunde, other than the inference that their data was free of starter cracks 
that could have formed during irradiation.  However, data by other workers (Cubicciotti and 
Jones [39]) is closer to the Roberts et al. data.  Using the results of Roberts et al. [18] and 
Brunisholz and Lemaignan [22], 200 MPa is considered to be the appropriate value for the 
threshold stress of irradiated Zr-4. 
 
As to the effects of hydrogen, the experimental evidence is that no synergistic enhancement of 
SCC susceptibility exists; in fact, the effect is the opposite.   Sejnoha and Wood [40] found that 
hydrogen can retard crack initiation, changing the failure mode from transgranular cleavage to 
intergranular cracking.  This was attributed to the blunting of the crack tip by the hydrides 
precipitating at the crack tip, and/or the increase in surface pitting to the exclusion of localized 
cracking.  Similarly, Cox [41] found that deliberate precipitation of radial hydrides in a 
previously resistant batch of material did not render it susceptible to iodine-induced SCC.  
Further, he argued that pre-existing radial hydrides in susceptible material go into solution on 
raising the temperature at the start of the SCC test and the small cracks left behind act as 
initiation sites.  However, he found no distinct separation between susceptible tubing containing 
radial hydrides and other susceptible tubing not containing radial hydrides.  Thus, it can be 
concluded that the effect of hydrogen on SCC susceptibility is either neutral, or results in a slight 
improvement. 
 
As to the third factor affecting SCC initiation, namely, pre-existing inner surface cracks, the 
experimental evidence is a reduction in both the threshold stress and the time to failure. The 
Brunisholz and Lemaignan [22] data for fatigue pre-cracked specimens shows that the apparent 
effect of pre-cracking is to reduce the threshold stress from 300 to 180 MPa, for unirradiated 
stress relieved Zr-4.  It should be noted, however, that the fatigue pre-cracking virtually 
eliminated the need for a long incubation time, and as soon as iodine had sufficient time to 
diffuse to the crack tip, cracks with sufficiently high KI, i.e., sufficiently deep cracks, began to 
extend almost immediately.  Shorter cracks required longer incubation time, which is determined 
by the state of stress at the crack tip.  Brunisholz and Lemaignan report that sharp fatigue-
induced starter cracks of lengths up to 30% of the cladding thickness were found not to propagate 
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at all.  From crack propagation analysis of their data, they were able to determine a KISCC value in 
the range 3.4-5.5 MPa m , which is a factor of 2 lower than data by Wood et al. [42].  
Brunisholz and Lemaignan compared their KISCC values to those obtained by Jones et al. [43] and 
Videm et al. [44], with 4.6 MPa m  and 4 MPa m  respectively.  These values are more in line 
with the average of the Brunisholz and Lemaignan data of 4.45 MPa m .  More typical fracture 
toughness values for unirradiated Zircaloy in iodine vapor are in the range 7-10 MPa m  (see 
Sejnoha and Wood [40], and cited references in their paper).  It should be noted, however, that 
the basis for calculating KISCC is the edge-crack plate formula KIC = f σ (πa)1/2, where σ is the 
stress, a is the crack size and f is a constant that depends on the crack size.  Aside from the fact 
that this formula is strictly applicable to a flat plate under plane strain condition, and, therefore, is 
misapplied to a tubular geometry, large errors may be introduced in the KISCC calculations 
because of errors in estimating the crack size.  This may account for the variation in the fracture 
toughness values reported by the various authors. 
 
Pre-existing flaws can be separated into two groups: short sub-critical (KI < KISCC) cracks and 
deep (KI ≥ KISCC) cracks.  As already mentioned, Brunisholz and Lemaignan [22] have found that 
fatigue cracks 160 µm deep did not propagate in iodine vapor, 200-µm cracks extended 30 µm, 
and 240-µm cracks led to fracture in 2.25 hours.  The 160-µm value can be conservatively 
assumed to be the critical crack size, which, in a 17x17 configuration, is about 28% of the 
cladding thickness. Using their KISCC value, namely, KISCC = 3.4 MPa m , which, as already 
discussed, is a factor of 2 lower than the prevailing values in the literature, an upper bound 
estimate of the crack size that could have existed in-reactor can be estimated. The upper-bound 
crack size is one that just remains sub-critical during a power ramp that would produce a PCMI 
stress increment equal to the SCC threshold stress of 200 MPa.  Using the same formula used for 
calculating KI, namely, KI = f σ (πa)1/2, with a shape factor f = 1.12 for an elliptical surface crack, 
and a = 160 µm, gives a KI value of 5.0 MPa m , which exceeds the KISCC value.  This means 
that a partial crack of this size could not have remained sub-critical in-reactor, and therefore 
would not have pre-existed in spent fuel rods placed in dry storage. 
 
Using a KISCC value of 3.4 MPa m , and an applied stress equal to the threshold stress of 200 
MPa, the maximum sub-critical crack size would be 73 µm.  Such a crack size would represent 
the largest that can be assumed to pre-exist in a spent fuel rod in dry storage.  Now, if we take the 
150-MPa stress referred to earlier as deriving from the highest possible internal pressure, we 
calculate a stress intensity factor of 2.54 MPa m , which shows that the crack will remain sub-
critical during dry storage. These estimates are highly conservative, since the lowest SCC 
threshold stress, the lowest KISCC value, the highest rod pressure, enhanced cladding stress due to 
oxide-induced thickness loss, together with disregarding the blunting effect of hydrogen, have 
been used.  This leads us to conclude that no enhancement of SCC susceptibility due to pre-
existing flaws is possible and, further, any flaws that may have pre-existed are not subject to 
propagation by the SCC mechanism in spent fuel placed in dry storage. 
 

Summary 
 
The combined effects of the three areas examined above can be summarized as follows: 
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(1) Extrapolation to dry storage of the in-reactor chemical environment, which promotes PCI 
failures under very restrictive conditions, to spent fuel is not supportable by the laboratory 
simulations, and is unlikely to be operative under dry storage conditions. 

 
(2) Under the most restrictive conditions, the stress in the cladding remains below the SCC 

threshold stress. 
 
(3) High-burnup-induced damage, such as irradiation hardening, hydrogen and inner surface 

cracks are shown to be insufficient factors for increasing SCC susceptibility during dry 
storage. 
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Figure 2-1. Crack Velocity versus Stress Intensity Curves for DHC and SCC (Ref. 41) 
 

0



Stress Corrosion Cracking (SCC) Mechanism 

2-8 

 

 
Figure 2-2. SCC Data for Unirradiated and Irradiated Zircaloy at 600K (Ref. 18) 
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Figure 2-3. Time to Failure for Stress-Relieved Zircaloy-4 at 350°C (Ref. 22) 

 
 

 
Figure 2-4. Time to Failure for Recrystallized Zircaloy-4 at 350°C (Ref. 22) 
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3 
DELAYED HYDRIDE CRACKING (DHC) MECHANISM 

 
Background 
 
Delayed hydrogen cracking (DHC) failures of practical interest were first observed in the welds 
of experimental fuel elements (Simpson and Ells, 1974 [45]) and later in pressure tubes in the 
Pickering CANDU reactor (Ross-Ross, et al. [46]).  Significant research was carried out in the 
succeeding years, although not to the same degree as in SCC, to study the DHC susceptibility of 
pressure tube materials, Zr-2.5Nb and Zr-2 (Dutton and Puls [47], Coleman and Ambler [48], 
Simpson and Nuttal [49], Simpson and Puls [50], Huang and Mills [51], Efsing and Petterson 
[52]).  Except for the Zr-2 data cited above, no DHC data can be found for Zr-2 or Zr-4 cladding 
materials.  This may be due to the fact that the DHC mechanism, unlike the SCC mechanism, 
was not implicated in the PCI failures that occurred in about the same time frame.  Neither has 
there been any evidence of in-reactor fuel-rod failures attributable to DHC.  (It should be noted 
parenthetically, however, that DHC was first thought to be the operative mechanism in the long 
axial splits of zirconium-lined BWR cladding, but the failures were shown to be the result of 
secondary hydriding (EPRI [53]).  The lack of data on Zr-4 makes the present discussion 
applicable only by implication to PWR spent fuel in dry storage.  Therefore, no attempt will be 
made in the present report, neither is one possible, to distinguish between the DHC 
susceptibilities of Zr-2 and Zr-4 cladding types, other than by inference that can be drawn from 
the calculated parameters.  However, since all Zircaloys form hydrides, there is no reason to 
doubt the general validity of the DHC data or draw a distinction between the various materials’ 
susceptibilities to DHC.  As in the case of SCC, the DHC mechanism is dependent upon several 
forcing functions that affect spent fuel rod susceptibility to DHC failures, which are hydrogen, 
stress, and temperature, with time as the common independent variable.  These are discussed in 
some detail below, but first it is relevant to give a brief description of the DHC mechanism, 
keeping in mind the ultimate objective of application to spent fuel dry storage. 
 

Evolution of the DHC Mechanism 
 
As the name implies, delayed hydride cracking is the slow evolution of failure as a result of 
hydride-induced embrittlement of the Zircaloy component.  The prerequisite for this mode of 
failure is the presence of hydrogen in excess of the terminal solid solubility in combination with 
high internal stress.  The hydrogen and the stress must interact in a specific manner under the 
appropriate thermal environment before the DHC process can be initiated.  Laboratory tests of 
notched and pre-cracked specimens show that the process evolves in two stages.  Stage-I is 
comprised of crack initiation followed by a rapid increase in crack velocity, of one or two orders 
of magnitude, until it transitions to the stable crack growth Stage-II.  This latter stage controls the 
time to failure.  The reported data is depicted as plots of crack velocity vs. stress intensity factor 
KI, Figure 3-1, and KI vs. time to failure, Figure 3-2. 
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The failure time is determined primarily by the nearly constant crack growth velocity of Stage-II, 
which is initiated at a KI value around 9-10 MPa m , compared to the threshold value of 5-6 
MPa m  for KIH, which initiates Stage-I.  During Stage-II, under isothermal conditions, the 
hydrogen in solution diffuses to the high stress zone surrounding the crack tip.  An important 
condition that promotes the diffusion of hydrogen to, and the precipitation of hydrides in, the 
crack tip zone is the triaxial tensile field surrounding the crack tip.  This condition exists in the 
plane strain test specimens that are machined from thick pressure tubes.  This is an important 
point to consider when applying the data to the plane-stress cladding geometry in which the crack 
tip stress field is biaxial, and therefore is not as attractive to hydrogen.   With the continuous 
hydrogen diffusion to the crack tip region, the local hydrogen concentration rises until it exceeds 
the solubility limit and hydrides begin to precipitate ahead of the crack tip in the form of platelets 
oriented perpendicular to the direction of the stress.  When the hydride reaches a critical size, it 
fractures, allowing the crack to advance until it is arrested in the tougher Zircaloy material past 
the hydride, where a new highly stressed crack tip is formed, and the process is repeated.  The 
crack continues to propagate in this intermittent manner until failure by the plastic instability of 
the remaining ligament.  This process is illustrated in Figure 3-3. 

Role of Hydrogen 
 
One of the distinguishing features of the DHC mechanism is that there is no threshold value for 
the amount of hydrogen in the material, as long as it is in excess of the solubility limit.  The 
process, as the data indicates, can occur in as-received material under the appropriate temperature 
and stress conditions.  Thus, since hydrogen is abundant in spent fuel cladding, especially at high 
burnup, the DHC process is not constrained by hydrogen availability. 
 

Role of Temperature 
 
Temperature and prior temperature history play a crucial role in the DHC process, affecting the 
two stages in different ways.  The first stage was found to be weakly dependent on temperature.  
This means that a necessary and sufficient condition for Stage-I to be initiated is KI ≥ KIH , where 
KI is dependent only on the far-field stress and the crack size, and KIH is independent of 
temperature for Zr-2.5Nb, but may be slightly sensitive to temperature for Zr-2.  The second 
stage, on the other hand, depends on the direction of approach to temperature, as will be 
discussed further below. 
 
The crack growth rate in the second stage, which determines the failure time under DHC, is 
governed by the hydrogen diffusion rate, which is strongly temperature dependent.  
Consequently, the crack velocity follows a simple thermally activated process, i.e., V = Ae-Q/RT, 
with Q = activation energy.  Coleman and Ambler [48] determined a value for Q = 42 KJ/mol, 
whereas Simpson and Puls [50], using a more reliable, multi-specimen approach determined a 
value for Q = 65.5 KJ/mol.  It is interesting to note that the Simpson and Puls value is close to 
the theoretical activation energy of hydrogen diffusion of 69.5 KJ/mol.  Huang and Mills [51] 
determined an activation energy value for Zr-2, which is in agreement with the Simpson and Puls 
value for Zr-2.5Nb.  The overall temperature dependence of Stage-II is summarized below. 
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In the laboratory, the DHC process was found to depend on the direction of approach to test 
temperature, i.e., whether the test temperature was approached from above or from below.  A 
critical temperature, termed TDAT (Direction of Approach to Temperature), was found such that at 
a test temperature below TDAT, DHC occurred always regardless of whether the material was 
heated or cooled to the test temperature.  However, above TDAT, DHC occurred at constant or 
decreasing temperature, but only when the test specimen was first subjected to a temperature 
cycle with an over–temperature excursion in the range of 20-40°C.  Even a propagating crack at a 
temperature above TDAT could be arrested completely by a small temperature increase.  TDAT was 
found to be 150°C for Zr-2 plate and 180°C for Zr-2 tubing (Huang and Mills [51]). 
 
The crack velocity differs significantly above and below TDAT.  Below TDAT, the crack growth 
rate follows the Arrhenius relationship described above; whereas at temperatures above TDAT, the 
constant-temperature crack velocity decreases rapidly, but maintains the Arrhenius rate on cool-
down, which is the prevailing condition in dry storage. 
 
Providing that stress conditions are satisfied (see below), it would appear from the above that the 
temperature history in spent fuel would not preclude DHC.  The slowly decreasing temperature 
with time during dry storage is almost the ideal recipe for maintaining crack propagation, 
provided of course that Stage-II had already been initiated.  Therefore, the key is to prevent 
Stage-II from initiating by precluding Stage-I altogether.  This is explored in the following sub-
sections. 
 

Role of Stress - DHC Initiation 
 
Stage-I of the DHC process can be initiated in a fuel cladding if and only if the far-field hoop 
stress can produce a KI value in a pre-existing crack of sufficient size such that the condition KI ≥ 
KIH is satisfied.  This requires knowledge of three quantities, the fracture toughness KIH, the far 
field stress, and the crack size.  The role of these parameters on DHC initiation is examined 
below for the two cladding conditions, namely, coherent oxide, i.e., no delamination or 
spallation, and spalled oxide.  But, first, we need to compare the fracture toughness KIC with the 
DHC fracture toughness KIH for both oxide conditions to determine which fracture mode 
governs.  This requires an estimate of KIC for spent fuel cladding.  This is obtained below. 
 
KIC Estimation from Material Properties Data Using the CSED Model:  KIH is already known 
from the earlier calculations; an estimate of KIC is needed.  For this, two different types of data 
sets, fracture data by Kreyns et al. [54] and material property data by Garde et al. [55], together 
with an analytical model that relates the two types of properties, are used.  The analytical model 
is the critical strain energy density (CSED) developed elsewhere.  (For a detailed discussion on 
the application of the CSED concept to fuel cladding failure evaluation, see EPRI’s RIA report: 
EPRI TR-106387, August 1996 [56]; and also Rashid et al., IAEA Specialists Meeting on Fuel 
Modeling, Windermere, June, 2000 [57].) The following relationship between CSED and the 
fracture toughness KIC, namely, KIC = 3.5 CSED , was developed semi-analytically and was 
shown to apply to a wide variety of conditions (see Rashid, “Fracture Toughness Data for 
Zirconium Alloys - Application to Spent Fuel Dry Storage, EPRI report in preparation [58]). 
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Figure 3-4 shows the CSED as function of oxide thickness developed from material property 
tests by Garde et al. and others [55,56].  The figure includes unspalled and spalled data with best-
fit curve for each.  Using the above KIC-CSED correlation and the unspalled best-fit CSED value 
of 5 MPa at an oxide/cladding thickness = 0.25 from Figure 3-4, a fracture toughness KIC = 7.8 
MPa m  is obtained. The 25% oxide thickness used in the above calculation is equivalent to 
1216 ppm for the 710-µm thick cladding used at Calvert Cliffs-1 (CC-1).  This was estimated 
from the following hydrogen-oxide thickness correlation [59]: 
 
 H (ppm) = 7.18 * X (µm) – 58.4 
 
Kreyns et al. [54] used hydrogen-charged irradiated and unirradiated test samples under various 
temperatures, They reported fracture toughness value as low as 7.4 MPa m  for unirradiated 
samples with 4000 ppm hydrogen tested at 24°C.  There are differences in the material behavior 
between hydrogen-charged samples and fuel rods because of differences in hydride distribution 
and morphology.  Comparing the 7.4 MPa m  value from the Kreyns et al. data at 4000 ppm 
with the 7.8 MPa m  estimated for Garde et al.’s data at 1216 ppm, indicates a penalty factor of 
approximately 3 (4000/1216 = 3.3) on the hydrogen-related damage between artificial hydrogen 
and oxide hydrogen. 
 
As a further validation check on the use of the KIC-CSED correlation and the effects of hydrogen, 
the correlation is applied to Kreyns’s et al. irradiated samples with a charged-hydrogen content of 
1600 ppm. The samples were tested at temperatures in the range of 204°C, with a measured KIC 
of 13.3 MPa m .  The CSED value that corresponds to KIC = 13.3 MPa m  is calculated from 
the KIC-CSED correlation to be 14.5 MPa.  This corresponds to an oxide thickness of 11% from 
Figure 3-4, or about 80 µm for CC-1 cladding and 70 µm for ANO-2 cladding.  The average 
hydrogen concentration corresponding to an oxide thickness of 80 µm, as obtained from the 
hydrogen-oxide correlation, is 516 ppm.  The penalty factor is 1600/516 = 3.1, which is 
sufficiently close to the factor of 3. This analysis serves as a transfer function between the two 
types of data and allows us to apply the results to the two oxide conditions. 
 
Cladding with Coherent Oxide: From the above calculations, the KIC values for spent fuel 
cladding with coherent oxide can vary from 13.3 MPa m  for cladding with an oxide thickness 
of 80 µm to 7.8 MPa m  for an oxide thickness well in excess of 100 µm.  These values are 
higher than the threshold KIH in the range 5-6 MPa m  for irradiated Zr-2 from Huang and Mills 
[51], and for Zr-2.5Nb from Simpson and Puls [50].  In Section 2, we have already estimated the 
upper bound of the size of an inner-surface crack, the far-field stress and the stress intensity 
factor KI to be respectively 73 µm, 150 MPa and 2.54 MPa m .  These estimates indicate that 
the maximum pre-existing inner-surface crack, if it exists, would remain sub-critical with respect 
to both mechanical fracture and DHC Stage-I initiation. 
 
Cladding with Spalled Oxide: Cladding with spalled oxide can develop hydride lenses in the 
newly exposed colder region of the cladding.  The maximum penetration of these hydride lenses 
observed in high burnup cladding is close to cladding mid-wall.  If we examine the individual 
data in Figure 3-4, we see that the CSED for spalled rods tested under internal pressure is about 4 
MPa, which gives a KIC of 7 MPa m .  The average hoop stress for the specimen is roughly 480 
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MPa from Reference [59], which results in a critical crack size of 55 µm.  This represents the 
maximum crack that can pre-exist in a cladding with spalled oxide.  A spent fuel rod with this 
condition would sustain a stress in the ligament of 265 MPa based on a far-field stress in the un-
spalled region of 150 MPa.  This gives a KI value of 3.9 MPa m , which is well below KIH. This 
shows that the inner-surface crack of 73 µm is the governing condition.  If we assume further that 
such a crack is located on the ID side of the hydride lens, we calculate a KI of 4.5 MPa m , 
which is still below KIH. 
 
We have so far concentrated on the stress conditions that are needed to initiate Stage-I, and found 
those to be lacking even for cladding with spalled oxide.  The crack-growth process, however, is 
governed by the conditions for Stage-II.  The overwhelming evidence from the literature sources 
already cited is that a KI value of at least 9-10 MPa m  is needed to sustain crack growth in 
Stage-II.  Since crack-growth during the transition from Stage-I to Stage-II is negligibly small, 
the KI value of 4.5 MPa m  calculated above for cladding with spalled oxide remains valid.  As 
can be seen, this is half the value needed to initiate Stage-II and subsequently sustain crack 
growth. 
 
As a cautionary note, we should mention that these hand calculations push the KI formula to the 
limit of validity, and ultimately more precise calculations can be made, if necessary.  However, 
by virtue of the conservative assumptions made for the various parameters, the present 
conclusions should not be affected. 
 

Role of Hydrides Re-orientation 
 
Hydrides reorientation from tangential to radial was created in the laboratory by repeated thermal 
cycling of test samples subjected to high tensile stress (Simpson et al. [60]).  If the hydrogen 
content of the sample exceeded the terminal solid solubility at the high temperature level of the 
cycle, the number of re-oriented hydrides increased with every cycle.  Simpson et al. found that a 
stress in excess of 138 MPa was required, and the degree (number and angle) of re-orientation 
was strongly dependent on the number of cycles, with tens of cycles required to produce 
significant re-orientation.  Hydrides orientation is texture dependent, and, consequently, changes 
in texture as a result of temperature and stress can produce re-orientation of hydrides at different 
stress levels depending upon the temperature: the higher the temperature, the lower the stress 
needed to cause re-orientation.  For example, at 400°C the stress level required to cause hydrides 
re-orientation is in the range of 120-180 MPa, and at 250°C the required stress is 250-350 MPa, 
Peehs et al. [76], Hardie and Shanahan [77].  These stresses are predominantly outside the range 
of spent fuel storage conditions. 
 
There are two opportunities where hydrides re-orientation can occur in spent fuel: during vacuum 
drying and during long-term storage under the slowly decreasing temperature.  During long-term 
storage, the continuous drop in rod pressure due to the drop in temperature and the creep-induced 
volume expansion will cause the cladding stress to drop within the first year or so below the 
threshold value. As the threshold value increases with temperature, this further reduces the 
chance for re-orientation.  Also, the number of hydrides that will precipitate will be limited to the 
reduction in the solid solubility limit over this period.  It should be reminded, further, that the 
150-MPa stress is an upper bound estimate, not the actual that might exist.  The number of 
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thermal cycles to which spent fuel may be subjected during vacuum drying is minimal in 
comparison with laboratory data, and therefore we can ignore the cumulative effect of thermal 
cycling.  However, since the cladding threshold stress for hydrides re-orientation may be 
exceeded, we cannot rule out the presence of some radial hydrides following vacuum drying.  
Limiting the drying temperature may reduce the number of tangential hydrides that dissolve and 
subsequently re-precipitate in the radial direction during cooling, but such a step may not be 
necessary.  The experiments performed by GNB/Siemens (W. Goll, E. Toscano, and H. Spilker, 
KTG “Brennelemente und Kernbauteile, Karlsruhe, Feb 29-Mar 1, 2000 [61]) showed limited re-
orientation even for cladding that was cooled down after being maintained at high temperature 
and pressure for several days.  However, in view of the fact that the process cannot be ruled out 
since there is no threshold temperature for hydrides re-orientation, resolution of the situation 
effectively comes down to the role of the stress, which is discussed next. 
 
There are two ways in which hydrides re-orientation interact with the stress in the cladding.  
First, the hydrides may inter-link and form long radial hydrides.  In the presence of internal 
loading, pressure or PCMI, the worst position for such a long hydride is at the inner surface 
where the stress is highest and can create an edge crack which acts as a starter crack for Stage-I 
DHC.  However, internal long hydrides can also crack given sufficiently high stress.  Once the 
crack is initiated, and is sufficiently deep such that the stress intensity factor KI exceeds the 
fracture toughness KIH, the crack advances with increasing velocity until the onset of Stage-II, as 
already discussed.  To determine if Stage-I can be initiated from a fractured hydride, we first 
have to estimate the length of the hydride that can fracture under 150-MPa stress, which is the 
maximum stress that has been assumed to exist (see Section 2).  The fracture toughness of a pure 
zirconium hydride is in the range of 1-3 MPa m .  Using these values, we calculate the critical 
hydride length to be in the range of 11 µm to 102 µm, with a mid-range value of 45 µm.  
Simpson et al. [60] found that hydrides of 100 µm in length fractured under a stress of 560 MPa, 
but hydrides of 25 µm in length did not.  By comparison, under 150-MPa stress, the fracture of 
the 102-µm hydride would be unlikely.  However, even if a hydride of this length can exist and 
fractures under a stress of 150 MPa, the resulting crack is sub-critical with respect to the DHC 
and SCC fracture mechanisms.  The stress intensity factor KI for a 102-µm crack under 150-MPa 
stress is 3 MPa m , as compared to KIH of 5 MPa m  and KISCC of 3.4-5.5 MPa m . 
 
The second way in which hydrides re-orientation interact with the stress is when cracks or 
notches pre-exist in the cladding.  The biaxial tension field of the crack tip will attract the 
hydrides and cause them to concentrate in the process zone of the crack tip.  Simpson et al. [60] 
have demonstrated hydride cracking in Zr-2 round-notched bar specimens at calculated stress 
intensity factor of 5 MPa m  after up to 240 thermal cycles between 300 and 60°C.  Such 
thermal cycling is well beyond spent fuel storage experience.  Moreover, we have shown in our 
previous calculations that for a 5-MPa m  value for KIH, a conservatively estimated pre-existing 
crack of 73 µm does not propagate. In summary, hydrides reorientation is shown to be of benign 
consequences for dry storage. 
 

Summary 
 
Certain elements of spent fuel dry storage are conducive to promoting DHC. More importantly 
the factors that render the process inoperative dominate spent fuel conditions in dry storage.   

0



Delayed Hydride Cracking (DHC) Mechanism 

 3-7 

Elements conducive to promoting DHC are the availability of hydrogen in excess of the terminal 
solid solubility, the possible presence of inner and outer surface flaws that form starter cracks for 
Stage-I DHC, and the cladding temperature history.  The troublesome, but unavoidable, aspect of 
the temperature history, which makes it particularly suited for promoting DHC, is the over-
temperature excursion during vacuum drying, with possible cycling, followed by a continuously 
decreasing temperature.  
 
However, DHC cannot begin without the appropriate stress condition being satisfied, regardless 
of any other promoting mechanism.  The stress environment is shown to be non-conducive to 
DHC using highly conservative assumptions on the parameters that govern DHC initiation and 
cladding condition.  These are: maximum far-field stress, largest possible pre-existing crack size 
in combination with spalled oxide with hydride lenses, a 100-µm oxide thickness, the lowest 
hydrogen-assisted fracture toughness value KIH, and a conservative estimate of the stress intensity 
factor KI needed to sustain Stage-II crack growth.   
 
A most revealing result from the present investigation is that hydrides re-orientation, and its 
possible impact on the initial drying temperature, is found to present little additional concern and 
does not impose undue restrictions on vacuum drying. 
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Figure 3-1. Crack Velocity versus Stress Intensity Factor KI (Ref. 48) 
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Figure 3-2. Stress Intensity Factor KI versus Time to Failure (Ref. 48) 
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Figure 3-3. Intermittent DHC Crack Evolution (Ref. 48) 
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4 
CREEP MECHANISM 

 
Background 
 
Spent fuel rods in dry storage undergo creep deformations at a rate determined by two opposing 
processes.  One process is the material’s tendency to steadily deform at a constant rate following 
a short period of transient creep, and the other is the material’s reaction to continuously 
decreasing pressure and temperature.  The latter imposes a form of break mechanism on the 
former, eventually bringing the two processes into a state of near equilibrium where the 
deformation is halted or its rate is reduced to a negligible level.  It can be shown analytically that 
such equilibrium state is the only possible outcome in a pressurized closed system.  The question 
is: When in the history of the fuel rod does this state of near equilibrium occur and at what 
deformation level?  This is governed by the creep capacity of the cladding, which will be 
examined in this section. 
 
Before the advent of spent fuel storage, the emphasis has been on irradiation-enhanced thermal 
creep, which was mainly needed to calculate the effects of cladding deformations on the fuel-clad 
gap heat transfer.  In PWRs, the process is primarily compressive creep, or creep-down, under 
constant power, with occasional excursions into the tensile strain regime induced by PCMI 
during power ramps.  Towards the latter part of the burnup cycle, tensile strains could be induced 
under constant power at a very slow rate due to fuel swelling.  The overall process is similar for 
BWRs, but with significant differences in strain magnitudes; for example, less creep-down but 
higher PCMI strains.  Despite the apparent complexity of the deformation processes involved, in-
reactor fuel rod response has been fairly predictable using fuel performance codes whose primary 
function is to calculate specific design limits (SAFDLs).  The most notable of these SAFDLs is 
the 1% strain limit, which was initially arbitrarily chosen as a sufficiently safe limit for what was 
thought to be a rather benign loading regime, despite the fact that much larger strain limit could 
be justified.  Unfortunately, however, the 1%-limit seems to have entered the annals of fuel 
behavior technology as a one-size-fits-all criterion. 
 
Recent efforts to evaluate the cladding creep capacity in dry storage (Spilker et al. [69]) utilize 
creep data obtained for unirradiated cladding, with the hypothesis that the calculated strain would 
be conservatively judged against the 1% criterion.  (Note that the elastic strain component 
decreases continuously with time, eventually becoming insignificant, and therefore no distinction 
needs to be made whether the 1% criterion is purely plastic or elastic plus plastic.) The first 
opportunity to test this hypothesis in the U.S. regulatory arena presented itself in the NRC 
review, performed by PNNL staff, of the license application of the Wesflex design (see Gilbert et 
al. [71] "Technical Evaluation Report of WCAP-15168, Dry Storage of High Burnup Spent 
Nuclear Fuel").  The reviewers accepted the 1% strain criterion, but restricted it to spent fuel 
cladding with oxide thickness below 70 µm.  Cladding with 80 µm or higher oxide was to be 
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treated as damaged.  They relied on burst data by Garde et al. [55] and Fuketa et al. [66] as 
supporting evidence.  In arriving at their recommendations, Gilbert et al. applied literal 
interpretations of material properties data generated in standard tensile tests, ignoring well known 
effects that distinguish the low-stress low-rate creep regime from the more aggressive stress-
strain tests.  The elasto-plastic work done on the material in these tests can be a factor of 10 
greater than the visco-plastic work done due to a 1% creep strain accumulated during dry storage.  
Asserting that the material's energy capacity is a fundamental invariant of material behavior, we 
would conclude that the strain capacity under creep is far greater than under short-duration 
loading.  This is confirmed by Fuketa et al. [66] who point the difference out in their paper where 
loading rate differences are only three orders of magnitude instead of the six orders of magnitude 
under creep. 
 
The apparent loss of ductility measured in stress-strain tests by Garde et al. [55], which was 
referenced in the Gilbert et al. [71] review of the Wesflex report was totally attributed to the 
hydrogen content and, by extension, to the oxide thickness.  However, data by W. Goll et al. [61] 
("Short-Time Creep and Rupture Tests on High Burnup Fuel Rod Cladding") and S. B. Wisner 
and R. B. Adamson [72] ("Combined Effects of Radiation Damage and Hydrides on the Ductility 
of Zircaloy-2") show that at temperatures of specific interest to high-burnup fuel storage, i.e., 
between 300° and 400°C, both Zircaloy-4 and Zircaloy-2 tubing retain ductility above 2.5-4%, 
when specimens are tested under conditions relevant to dry storage.  Also, Jahreiff et al. [73] 
indicate that even up to 2000 ppm, hydrides do not decrease the ductility of irradiated Zircaloy. 
In the above-cited Wisner's and Adamson’s work, in particular, it is clearly shown that radiation 
damage controls the ductility of Zircaloy-2 up to hydride levels of at least 800 ppm (see 
Conclusion 2 of Wisner and Adamson [72]).  Curiously, however, Gilbert et al. quoted instead a 
value of 400 ppm from the same Wisner and Adamson paper to justify the 70-µm oxide limit 
[71].  It is interesting to note that the corresponding oxide thickness for 800-ppm hydrogen 
content is ~100 µm (see the hydrogen-oxide correlation in Section 3 of this report). 
 

Creep Data 
 
As already stated, in order to evaluate the creep capacity of the cladding under long term dry 
storage conditions, we need two types of information: applicable creep data, including creep 
rupture criterion, and an analytical model capable of simulating the cladding response under the 
prescribed temperature and pressure conditions.  The type of creep data needed is post-irradiation 
thermal creep strain as function of stress, temperature and time.  The creep rupture criterion, on 
the other hand, need not be a true rupture strain but rather a strain measure that recognizes the 
cladding physical conditions and loading rate, and has sufficient margin against instability or 
rupture. 
 
A limited amount of out-of-pile creep data for irradiated material was generated in the eighties by 
German researchers [74,75].  That data, however, is not sufficiently complete or robust to enable 
the development of an analytical model for application to the dry storage of high burnup spent 
fuel.  These data were generated to demonstrate that irradiated cladding creep rates are always 
lower than those of archive claddings in the unirradiated condition.  Recent data by Limon et al. 
[63] was generated for irradiated Zr-4, from FRAMATOME fuel rods, under stress and 
temperature conditions somewhat above the range of spent fuel conditions.  The burnup level 
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was approximately 47200 MWd/tU.  The stress was in the range of 150-250 MPa, and the 
temperature was in the range of 380-420°C.  The longest duration of the creep tests was roughly 
1350 hours.  Some of the data is shown in Figures 4-1 and 4-2.  Limon et al. formulated a 
primary-creep model only, arguing that the data was not sufficient to allow the formulation of a 
secondary creep component.  It is interesting to note, however, that the data could not produce a 
secondary creep term in spite of the fact that some of the tests were carried out to rupture, as 
shown in Figure 4-3.  We will come to this point in later remarks. 
 
The accelerated creep tests reported in Goll et al. [61] provide support for a 2% creep strain-limit 
criterion.  In addition, the accelerated creep tests were followed by a lower temperature test at 
150°C and hoop stress equal to 100 MPa to assess the long-term behavior of the cladding, and to 
examine the effects of decreasing temperature in the presence of tensile stress on hydride re-
precipitation and re-orientation.  During accelerated creep testing at 300°C, some of the hydride 
platelets were dissolved and re-precipitated under stress during cool-down to 150°C.  This led to 
the precipitation of some radially oriented platelets.  The cladding material was then held at 
150°C and 100 MPa for as long as 5 days, without cladding failure. This result shows the ability 
of the sufficiently ductile zirconium matrix to immediately blunt cracks emanating from the 
radially oriented hydrides. 
 
Gras et al. [64] developed a two-term creep equation in which the effect of prior irradiation was 
introduced as multipliers, functions of fast fluence, on the primary and secondary terms.  The 
specifics of this model, however, are not in the open literature, as yet. The available data from 
Goll et al. cited earlier is not adequate to formulate a creep model, but can be useful for the 
validation of newly developed creep models.  Data are expected to become available in the next 
24 months from various organizations, including the current NRC/EPRI/DOE and NRC/EPRI  
testing programs at ANL.  Until this additional data becomes available, the above-cited data may 
be all that can be currently used in the creep modeling and analysis of spent fuel rods in dry 
storage.  It is possible, however, to employ analytical techniques to extrapolate thermal creep 
data to post-irradiation thermal creep. This is further explored in the next sub-section. 
 

Choice of Creep Model 
 
A comprehensive survey of creep of zirconium alloys in nuclear reactors is given in a Special 
Technical Publication of ASTM fully dedicated to the subject, authored by Franklin, Lucas and 
Bement, STP 815, 1983 [62].  Although the publication, which contains 279 references, is nearly 
two decades old, the statement in the book, "Despite the considerable research…., a full 
understanding of creep in these alloys is not yet in hand", is still true today.  Therefore, it would 
be counterproductive to engage in a yet-another discussion (see Refs. [6] and [7]) to confirm or 
refute the applicability of the DCCG and CSFM methodologies to spent fuel storage.  Rather, we 
would begin by stating that a properly characterized phenomenological creep model is 
appropriately suited for describing cladding time-dependent deformations during dry storage.  
This section will discuss the attributes of such a phenomenological model, its data needs, and 
how it can be used to evaluate the creep capacity of spent fuel in dry storage. 
 
In general, a phenomenological creep model for Zircaloy cladding would express the creep strain 
as an algebraic equation comprised of individual terms each of which describes the contribution 
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of a single independent variable, namely, stress, temperature, neutron flux, fast neutron fluence
and time.  This is to be distinguished from mechanistic models, of the type used in the
DCCG/CSFM methodology, which attempt to describe creep in terms of the interaction of
structural defects such as vacancies, interstitials and dislocations, which involve extremely
complex processes.  A suitable phenomenological creep equation for post-irradiation thermal
creep would have the following form:

ε ε εc
p
c

s
c= + (1)

The subscripts p and s stand for primary creep and secondary creep respectively.  Each of the
terms in the above equation is a function of time and time-varying stress and temperature.  In the
absence of fast neutron flux, the effects of prior irradiation hardening is introduced as a
multiplier lumped with the model constants.  The primary and secondary creep components take
on the following form:

( ) ( ) )t(f*Tf*f*A 321
c

s,p σ=ε (2)

The parameter A is a constant multiplier, which contains the effects of prior irradiation hardening
as a fast fluence term.  The independent variables in the above equation vary throughout the
history.  Numerical implementation of creep models of this form should be done within the
framework of the strain-hardening rule.

The temperature and time dependencies are straightforward, and most creep-model developers
agree on their form.  The time dependency is usually expressed as time raised to a power of less
than one for the primary component and of unity for the steady state component.  The
temperature dependency is expressed as an Arrhenius term with the appropriate activation energy
values for primary or secondary creep.  The stress-dependency is somewhat more complicated,
and has been the source of controversy.  For a stress dependency of the type σn, the creep rate
varies from linear, n = 1, to highly non-linear, n > 10.  Mechanistic models divide the creep
mechanism into various stages, depending upon the level of the stress.  At low stress levels, e.g.,
less than 20 MPa, the value of n is close to unity, and the process is diffusion controlled.  At
intermediate and high stresses, the mechanism is dislocation controlled, where dislocation glide
creep pre-dominates at intermediate stresses and dislocation climb-glide creep dominates at high
stresses.   Phenomenological models, on the other hand, express the stress dependency as σn,
with n given different values depending on the stress level.  A more convenient way of
expressing the stress dependency is by using a hyperbolic sine function, which allows the stress
dependency to vary automatically according to the stress level [63].

Use of Model to Extrapolate Thermal Creep Data to Post-Irradiation Creep: As was already
mentioned, the stress exponent n increases with the stress and can reach very large values, of the
order of 100, as the stress approaches the yield or ultimate strength.  In fact, for non-strain-
hardening materials, which approximately characterizes Zircaloy at high burnup, the creep rate
becomes nearly infinite at a stress level equal to the yield stress.  Conversely, the lower the stress
relative to the yield strength, the lower the stress exponent becomes.  We further know,
intuitively and from the available post-irradiation thermal creep data, that prior irradiation
reduces the thermal creep rate significantly.  In the case of the Gras et al. model, the reduction
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factor is 9 and 15 for the primary and secondary components respectively.  This suggests that the
reduction in the creep rate can be simulated by reformulating the creep equation in terms of the
stress/yield-strength ratio, or the stress/ultimate-strength ratio in the case of strain-hardening
materials, and then changing the model constants.  This is illustrated by operating on the stress
term in Eq. 2 as follows:

( ) ( )nu
n

1 /*C*cf σσ=σ=σ (3)

where

C c uo
n= ∗ σ (4)

In the above, c and σuo are respectively the original model constant and the test-material ultimate
strength.  They retain their values as originally determined for the test specimen.  However, when
the model is applied to irradiated material, its ultimate strength σu is used in the creep equation as
shown by Eq. 3.  Equations (3) and (4) show that the reduction in the creep rate between
unirradiated and irradiated material would be of magnitude equal to rn, where r is the ratio of
their ultimate strengths.  For other forms of stress dependencies, e.g., hyperbolic sine function,
the procedure is a bit more complicated, but the principle is the same.  It should be noted,
however, that the procedure may require the use of adjustable parameters to accomplish
satisfactory fit.  This procedure can be validated using existing thermal creep data of irradiated
materials such as the Goll et al. [61] data discussed earlier.

Remarks on Secondary Creep: The creep model expressed in Eqs. 1 and 2 implies that the model
parameters can be quantified from separately developed primary and secondary creep data.  Since
it is difficult to separate the primary and the secondary creep boundaries in conventional
constant-load creep tests, the process becomes subject to interpretation.  The following remarks
are given here to caution against erroneous interpretation of creep data and the impact of such
interpretation on assessing the creep capacity of spent fuel cladding during long-term storage.
Such erroneous interpretation has already occurred in the course of NRC’s review of the Wesflex
licensing submittal.

The notion that the secondary creep rate can be easily determined from standard creep tests is not
borne out by experience.  In a constant force (constant pressure) test, the true stress is changing,
especially when the creep regime transitions from secondary to tertiary.  Under high stress and
high temperature the time rate of change may be high enough to cause almost immediate
transition from primary to tertiary creep.  Such a response is quite evident in the creep rupture
test of Limon et al., Figure 4-3.  The only way to observe and measure secondary creep, if it
exists at all, is in a constant-stress test, which is far more difficult to perform.  In fact the whole
concept of designating primary, secondary and tertiary, as separate creep regimes is introduced
simply for the convenience of deriving creep equations from data.  Unfortunately, the process has
been confused with fundamental material behavior, and analysts began to look for these regimes
in the data and superimpose their own extrapolations without justification.  Let us take, for
example, a creep model of the Limon et al. type, which does not exhibit a secondary (constant
with time) rate.  To derive a constant creep rate from the model (or its data), a time window
during which the creep rate is assumed to remain constant would have to be arbitrarily chosen.
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Depending upon the objectives of the analyst, e.g., to demonstrate early exhaustion of creep 
strength, the analyst would choose an early time window, which exaggerates the secondary creep 
rate.  Conversely, another analyst with a different objective would choose a later time window.  
Since secondary creep is not easily quantifiable without conducting constant-stress creep tests, 
the process will remain somewhat subjective and hence controversial to some extent. 

Effects of In-situ Annealing and Damage Recovery 
 
There are three sources of hardening in Zircaloy cladding that may be subject to thermal 
annealing during dry storage: cold work, fast fluence and hydrogen.  Annealing of cold work and 
irradiation-induced hardening are temperature and time dependent, and the time-at-temperature 
becomes the governing variable in evaluating the degree of recovery for these two sources of 
hardening.  Hydrogen-induced hardening, on the other hand, is not subject to increasing recovery 
with increasing hold time.  Hydride-induced hardening may be enhanced during dry storage 
because of the drop in the hydrogen solubility due to the decreasing temperature with time, which 
causes the excess hydrogen to re-precipitate as zirconium hydrides, causing a slight increase in 
the hydrides concentration.  This effect has been discussed in Section 3 of this report.  With 
respect to the creep behavior, however, hydriding increases the cladding resistance to creep, 
similarly to irradiation-induced hardening, and will remain unchanged during dry storage. 
 
As already mentioned, long-time exposure of the cladding to high temperature can cause partial 
annealing of cold work, and perhaps full re-crystallization if higher temperature is maintained for 
the appropriate length of time.  This has the effect of changing the creep rate with time, initially 
to higher values and later to lower values at longer time, with the consequence of introducing 
uncertainties in the creep predictions [62].  Open literature data for cold-work stress-relieved 
(CWSR) material show a linear dependence in log-log scale of the beginning-of-recovery (BOR) 
and the end-of-recovery (EOR) temperatures in °C on hold time in hours.  Bouffioux and Legras 
[67] conducted annealing test of CWSR Zircaloy-4 17x17 hydrided specimens over a 
temperature range covering 400°C to 520°C and hold time from 1 hour to 1000 hours.  The 
hydrides in the samples, in the form of circumferentially oriented platelets, ranged from 100 ppm 
to 350 ppm at the test temperatures. Bouffioux and Legras found that hydriding inhibits the 
recovery in CWSR Zircaloy-4 by increasing the hold time, relative to the literature data, for the 
BOR temperature and the EOR time to achieve full re-crystallization.  Creep tests of hydrided 
specimens (560 ppm) conducted at 400°C, which involved zero recovery, showed a creep rate 
reduction factor of five relative to the as-received specimens.  However, creep tests of specimens 
with higher hydrogen content (720-760 ppm) conducted at 470°C for 250 hours showed only a 
factor of three reduction in the creep rate relative to the as-received specimens.  This can be 
attributed to the partial annealing of cold work, which amounted only to 25% at 470°C. 
 
The Bouffioux and Legras data can be used to determine the time-temperature domain to avoid 
during dry storage and for determining creep data.  The temperature-time dependence for BOR 
can be approximated by T = 508t-0.0301 from the Bouffioux and Legras data.  This formula aids in 
estimating the length of incubation time allowed for a given temperature.  For example at 450°C, 
the incubation time is about 56 hours, whereas at 400°C the incubation time is 2800 hours, 
increasing to 27 years at 350°C.  This indicates that recovery consequences can be avoided by the 
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limiting the initial storage temperature and the vacuum drying time.  Also, accelerated creep tests 
longer than 2800 should not be conducted at temperatures above 400°C. 
 
Annealing of irradiation damage does not necessarily follow the same behavior as cold work 
annealing.  For example, the effect of hold time on irradiation-damage annealing is not as strong 
as that for cold work.  The majority of the data was generated under transient temperature 
conditions to study cladding behavior under LOCA, (MATPRO data base [79]).  However, the 
data indicate that irradiation damage annealing becomes significant for temperatures above 
425°C (Ref. 79, Table B-9.V).  
 

Acceptance Criterion – Creep-Strain-Based Limit 
 
Current State of Practice: Until the submittal of BFS’s Wesflex Spent Fuel Dry Storage System 
(Docket Number 72-1026) to NRC for review, the state of practice has mainly remained in the 
technical arena, dealing with dry storage issues from two different perspectives: traditional 
approaches of using phenomenological creep models and strain-based criterion to determine the 
maximum initial storage temperature; and mechanistic failure models, namely the DCCG/CSFM 
methodology, which characterizes cladding failure as a void nucleation and growth mechanism.  
The practical difference between the two approaches is that the limit state in the latter approach 
is not directly measurable, whereas in the former approach cladding failure is based on measured 
data.  In the absence of validation data, it is not possible to determine from the DCCG/CSFM 
approach the cladding’s residual creep capacity to enable the estimation of safety margins.  
Besides these practical limitations, however, the applicability of the DCCG methodology to 
Zircaloy materials, either as the primary failure mechanism as proposed by LLNL, or as used by 
PNNL in a life-fraction rule within the CSFM methodology, has been called to question (see 
EPRI TR-103949, May 1994 [7] and UCRL-ID-131098, Dec. 1999 [6]).  Void nucleation and 
growth is discussed in Franklin et al. ("Creep of Zirconium Alloys in Nuclear Reactors", STP 
815, American Society For Testing and Materials, 1983 [62]).  The authors' conclusions are that 
"…void nucleation and growth in zirconium alloys does not appear to be of significant 
technological importance for water reactor applications."  EPRI studies (EPRI NP-5591, January 
1988) provide additional, relevant information on the effects of irradiation temperature and 
neutron flux on the microstructural evolution in irradiated Zircaloys.  The absence of voids in 
Zircaloy claddings irradiated in light water reactors leads to questioning the relevance of DCCG 
as a limiting governing mechanism. 
 
The staff acceptance of a strain-based model has been exercised in the Wesflex review.  The 
reviewers accepted the 1% strain criterion, but recommended severe restrictions on the oxide 
thickness [71], relying on unrealistic interpretations of material property data generated for other 
applications.   
 
The proposed approach is based on the technical consensus that creep is the governing 
mechanism, and by adopting a quantifiable strain limit with adequate margin against failure, one 
can be reasonably assured of no creep rupture during storage.  This strain limit criterion is 
presented below. 
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Proposed Criterion - 2% Strain Limit: Einziger et al. [78] conducted integral creep experiments 
in the early eighties using Westinghouse PWR rods, with burnup in the range 16-18 GWD/MtU, 
subjected to temperatures of 482°C to 571°C for a period of up to 7600 hours.  Initial cladding 
stresses due to fission gas and pre-pressurization were in the range of 40 to 75 MPa.  Post-test 
creep strains in the middle portion of the rods, where uniform creep prevailed, were in the range 
of 1.7% to 7%.  No gross degradation of the fuel rods or cladding cracks were detected.  On the 
basis of these tests, it is possible to conclude that at maximum temperatures less than 400°C, a 
total cladding strain of 2-3% has no negative effect on cladding integrity (Peehs et al. [76]). 
 
More recent creep data (W. Goll, E. Toscano, and H. Spilker, KTG “Brennelemente und 
Kernbauteile, Karlsruhe, Feb 29-Mar 1, 2000 [61]) have shown that a creep strain capacity 
greater than 2% has been achieved in accelerated creep tests conducted at two temperatures, 
300°C and 370°C, for stress levels ranging from 320 to 630 MPa.  The failure strains in these 
tests were in the range of ≥ 2.5% to ≅ 6%.  Although the stresses were necessarily raised well 
above dry storage conditions to achieve large creep strain within short time, the temperatures are 
in the proper range and below the damage recovery boundary [67].  Therefore, the Goll et al. data 
is extrapolatable in the stress-strain space to lower stresses typical of storage conditions.  Creep 
rupture data by Bouffioux and Rupa [68] showed creep ductility of 9-12% at 350-400°C and 350-
386 MPa for hydrided samples with hydrogen content in the range 215-1040 ppm.  What is most 
interesting about these tests is that the hydrided samples showed similar ductility to the as-
received samples, but the failure time was 2-6 times greater.  Although the samples came from 
unirradiated 17 x 17 tubing, hydrogen hardening exhibited similar effect to irradiation hardening. 
We conclude from the above that a 2% strain criterion is supported by current data. 
 
The proposed criterion has sufficient margin against rupture, at least within the 0.5% failure 
probability stated in the SRP.  The strain limit of 2% can be shown to be an asymptotic limit, 
which implies that cladding integrity will be assured even after the lapse of the licensed storage 
time.  This will be demonstrated through creep analysis planned in the coming year using EPRI's 
ESCORE/FREY/FALCON family of fuel behavior codes.   In the mean time, however, for the 
purpose of this report, we can show by simple hand calculations that creep deformations of a 
closed constant-mass system are self-limiting because of the feedback between the cladding 
deformations, the gas pressure and the continuously decreasing temperature.  The initial void 
volume of a typical fuel rod is typically 25 cm3, or less, of which roughly 70%, or 17.5 cm3, is in 
the plenum.  For the purpose of calculating the effect of gas volume change on the gas pressure, 
one can conservatively assume that the fuel stack free volume remains unchanged.  A creep strain 
of 1% is equivalent to an increase in the fuel rod void volume of about 5 cm3.  The effect of this 
increase in the void volume on the fuel rod pressure, assuming continuous communication with 
the plenum, is 5/(5+25) or about 17%.  This results in a 17% reduction in the cladding stress, but 
a 43% reduction in the creep rate, assuming a power law or a hyperbolic sine law.  This reduction 
in creep rate grows to 64% at a creep strain of 2%.  In addition, the decreasing temperature has a 
far stronger effect.  A 50°C decrease in temperature reduces the creep rate by a factor of 100.  
Spilker et al. [69] have shown similar trend to support CASTOR V initial storage temperature 
limits. 
 
Effects of Oxide Spallation on the Proposed Criterion: Oxide spallation can lead to the formation 
of highly brittle hydride lenses penetrating a distance of one-third to one-half of the cladding 
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thickness.  However, the cladding ligament beneath the hydride lens remains fairly ductile, with 
local plastic strain several times greater than the rest of the cross section because of strain 
localization effects.  The burst plastic-strain value of 0.58% reported by Garde et al. [55] for 
cladding with spalled oxide represents averaged value over the cross-section, which translates 
into localized strain value in the remaining ligament of the order of 3-4%, depending upon the 
circumferencial extent of the hydride lens.  In fact, Garde et al measured the local plastic strain in 
the ligament beneath the hydride lens to be slightly above 3% (see Figure 4-2 of Garde’s paper).  
When the corresponding elastic strains to the average and the local strains are added, the total 
strains become 1.1% and 4% respectively.  Had the same tube specimen been subjected to a 
creep test, the average and the local creep strains at the time of failure would certainly be higher 
because of strain rate effects, Fuketa et al [66].  We will attempt to derive an analytical creep-
rupture simulation of the Garde et al burst test, from which we can derive a criterion for cladding 
with spalled oxide.  This is discussed below. 
 
It can be shown that strain localization is a strong function of the stress exponent in the stress-
strain relation governing plastic deformations.  In the high strain-rate regime of tensile and burst 
tests, the stress exponent can exceed 10; whereas in the low-stress, low strain-rate creep regimes, 
the stress exponent is in the range of 2-3.  Thus, creep-strain localization in the ligament under 
the hydride lens does not rise to the same intensity as strain localization in the high strain-rate 
tensile or burst tests.  We consider two strain-stress relations, one that governs the fast-
pressurization burst test of the Garde et al. variety, and one that applies to a constant-pressure 

creep test.  It can be shown that both of these relations reduce to the form ε σ= A n , but with 
different values for A and n.  This form allows derivation of a strain localization factor for a 
cladding with local thinned region. 
 
In the case of high strain rate tests, the stress-strain state in the plastic regime is governed by an 
equation of the following type (MATPRO database [79]). 
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In Eq. 6, K, s and m are, respectively, the strength coefficient, the hardening coefficient and the 
strain-rate sensitivity coefficient.  For irradiated Zircaloy in the temperature range of interest, 
MATPRO gives m = 0.02, s = 0.1, n = 10, and &ε0  = 10-3/s for the reference strain rate.  For a 
constant strain rate test, Eq. 6 has the following power law: 

 ε σ= A n (7) 
 
In the case of low strain rate tests, a steady-state creep law of the type shown in Eq. 2 applies, in 
which the stress dependence is either a hyperbolic sine function or a power law with exponent n.  
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For the stress range of interest, the hyperbolic sine function is equivalent to a power law with n = 
3.  Such a creep law has the same stress dependency as represented by Eq. 7. 
 
Now we consider a test specimen in which the cladding exhibits the same physical condition as 
in the Garde et al. test.  For the type of stress-plastic-strain relation described by Eq. 7, it is easy 
to show, from equilibrium considerations, that the following relationship holds for the average 
hoop strain and the local hoop strain in a tube with localized thinning, 
 

 ( ) 



 α+α−

π
θε=ε nn

a 1
2l  (8) 

 
where εa  and εl  are the average and local strains respectively, α  is the ligament/thickness ratio, 
and θ is the subtended angle in radians of the thinned section, which includes the hydride lens 
and the peripheral damage areas.  The inverse of the quantity in the square brackets is the 
concentration factor which, for a large n, as in the case of Garde’s fast pressurization test,  
reduces to the quantity 2π θ/ .  As θ shrinks to zero, i.e., approaching the geometry of a sharp 
crack, the concentration factor approaches infinity, and the behavior of the specimen is governed 
by fracture mechanics.  Conversely, the concentration factor approaches unity for the case of 
uniform thickness reduction, and therefore no strain localization is possible.  In order to estimate 
the magnitude of the average hoop strain εa , we need estimates for εl  and θ.  The angle θ is 
estimated from micrographs in Garde et al. [55] and Smith et al. [59] to be approximately π/ 3.  
We assume a 50% wall thinning, which gives an α  value of 0.6 of the wall thickness remaining 
after subtracting the thickness loss due to corrosion.  Substituting the following values, θ π= / 3, 
α = 0 6. , n = 10, and εl = 0 03.  for the local plastic strain as measured by Garde et al. in Eq. 8 
gives an average plastic strain εa = 0 52%. , which agrees well with the measured value of 0.58%.  
This is considered to be a validation of the method, which is now applied to the creep-rupture 
simulation as shown below. 
 
First, a highly conservative assumption is made:  the local creep ductility in the creep specimen is 
equal to the total strain capacity, i.e., elastic + plastic, of the Garde et al. specimen, ignoring 
strain-rate effects.  The local elastic strain is simply the local stress, which is roughly 1.7 times 
the average hoop stress, divided by the elastic modulus.  Thus the total strain in the Garde 
specimen is approximately 4%.  Note that the elastic strain at dry-storage stress at the time of 
assumed rupture would be less than 0.1%.  Using Eq. 8 with the same values of α  and θ , but 
with n = 3, which is valid for creep, we obtain εa  = 1.4%.  Adding the elastic component to this 
value gives a circumferentially averaged strain of 1.5%.  This strain is the lower-bound value that 
would be measured in a constant-pressure/constant-temperature creep specimen of physical 
condition similar to the Garde et al fast pressurization test of spalled cladding.  Next, strain rate 
effects are considered. 

Fuketa et al. [66] showed a difference of a factor of 2 between the average residual strains 
measured in pressurized hydrided cladding samples tested at two strain rates three orders of 
magnitude apart (see Fig. 19 of the cited paper).  Creep strain rates for dry-storage stresses and 
temperatures differ by 6 orders of magnitude from fast pressurization tests conducted by Fuketa 
et al. and Garde et al.  Fuketa’s results indicate that if the Garde’s test were to be conducted at a 
pressurization rate 10-3 lower, the specimen strains would be: εa  = 1.16% plastic and εl  = 7% 
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(6% plastic + 1% elastic).  With εl  = 0.07 as the equivalent creep ductility, Eq. 8 gives an 
average creep strain value of 2.4%, or a total (elastic + plastic) strain of 2.5%. 
 
Considering the fact that we have used conservative values in the above calculations, a strain 
value of 2% can be justified.  For fuel rods with suspected spallation that have been normally 
discharged from reactors, there still exists a greater margin in the cladding strain capacity than 
indicated by either of the 1.5% or the 2.5% values calculated for severely spalled cladding.  This 
margin can be demonstrated by applying the Garde et al. data to creep rupture, not directly as 
shown above, but with the aid of a transfer function using an energy-based failure model, 
namely, the Critical Strain Energy Density (CSED) [56,57].  The minimum Critical Strain 
Energy Density (CSED), which is the mechanical energy used to fail the material, is calculated 
for the Garde data with spalled oxide to be 4 MPa (see Figure 3-4).    The following relationship 
between the quantities CSED and KIC, i.e. KIC = 3.5 CSED  [58], was presented earlier in 
Section 3 of this report.  Using this relationship, a fracture toughness value of 7 MPa m  for a 
cladding with spalled oxide and hydride lens of thickness equivalent to half the cladding wall is 
obtained.  Now, let us consider the spalled-rod situation under creep.  With a hoop stress of 120 
MPa and a total strain of 1.5%, we calculate a Strain Energy Density (SED) of 1.68 MPa.  This 
gives a stress intensity factor KI of 4.5 MPa m  compared to a KIC value of 7 MPa m , which 
indicates a safety factor of 1.5 against mechanical fracture after a strain of 1.5 % under creep 
during dry storage.  For the 2.5% case, the corresponding safety factor becomes 1.14.  The SED 
estimates, and consequently the safety factors, are conservatively calculated because the stress of 
120 MPa is assumed to remain constant with time. 
 
In summary, two limits have been derived for spalled cladding.  The first is a lower bound limit 
of 1.5% based on the highly conservative assumption that the cladding strain capacity under 
creep remains the same as in fast pressurization test, which most observers would consider 
unrealistic.  By relaxing this assumption somewhat, a second limit of 2.5% was derived using the 
same analytical simulation.  Thus, the 2% criterion remains valid, as proposed, for all cladding 
types without special consideration given to oxide thickness or spallation condition. 
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Figure 4-1. Creep of Irradiated CWSR Zircaloy-4 at Various Temperatures and Stresses (Ref. 63) 
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Figure 4-2. Creep of Irradiated CWSR Zircaloy-4 (Ref. 63) 
 
 

 

Figure 4-3. Creep Rupture Curve for Irradiated CWSR Zircaloy-4 Showing  
Primary-to-Tertiary Transition (Ref. 63) 
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5 
PIN-HOLE-EQUIVALENT FAILURE MODE 

 
At high burnup, the fuel pellets are virtually bonded to the cladding, and the gas pressure in the 
free volume within the fuel stack is transmitted to the cladding indirectly through interlocked fuel 
fragments.  This constrains the cladding from freely deforming as an empty tube and prevents the 
development of balloon-type deformations with the potential for relatively large rupture 
openings.  Consequently, the failure mode in high burnup cladding tends to be in the form of a 
narrow axial crack. Thus, the reduced ductility of high burnup cladding, ironically, has the 
beneficial effect of limiting the width of the failure opening.  Burst tests by Fuketa et al. (Park 
City ANS Topical Meeting, April, 2000 [66]) show that hydrided cladding burst-tested at room 
temperature exhibited narrow axial cracks compared to more ductile specimens that showed 
typical burst opening. 
 
In order to demonstrate that the size of the failure opening is equivalent to a pin-hole, we apply 
the leak-before-break criterion proposed by Irwin et al. [70].  Irwin was the first to relate material 
toughness to the mode of failure in a pressurized structure.  The leak-before-break criterion 
provides the means of estimating the necessary toughness of pressure-vessel steels so that a 
thumb-nail crack would grow through the wall in a self-similar manner, and could be detected 
before the leak can progress to a burst.  The uncertainty in this theoretical analysis is a function 
of the radius to thickness ratio, the closer this ratio to a thick-wall vessel, the lower the 
uncertainty of the predictions.  It is interesting to note that the fuel rod is comparatively a much 
thicker pressure vessel than the reactor vessel. 
 
The thumb-nail crack geometry for the leak-before-burst criterion is a crack surface in the shape 
of a parabola, with a length (at the inner surface) of twice the cladding thickness, and a depth 
equal to the cladding thickness, i.e., the crack just touches the outer surface.  The stress intensity 
KI for such a crack under a low stress compared to the material’s yield strength is given by 
 

 K aI
2 2112= . π σ  (9) 

 
At fracture KI = KC, where KC is the plane-stress fracture toughness, which applies to cladding 
geometry.  We make use of the plane-strain KIC = 7.8 MPa m , which was estimated from 
Garde’s et al. data in Section 3 for cladding with oxide thickness greater than 100 µm.  The KC 
value that corresponds to KIC is larger, but the difference can be ignored here for conservatism.  
We can now calculate the maximum value of the stress that should not be exceeded if burst 
failure is to be avoided. Using a = 600 µm, KI = KIC = 7.8 MPa m , Eq. 9 yields σ = 170 MPa. 
As can be seen, this value is higher than the maximum stress in the cladding, which is assumed 
to exist at the beginning of dry-storage life.  This demonstrates that in the event of fracture, the 
crack will propagate slowly in a self-similar manner until it penetrates the wall and depressurizes 
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the rod before it can extend axially in a burst mode.  The above calculations are valid for all 
cladding conditions regardless of oxide thickness or the state of the oxide, coherent or spalled. 
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6 
SUMMARY AND CONCLUSIONS 

 
Studies presented in this report confirm the general technical consensus that creep is the 
governing mechanism for spent fuel in long-term dry storage.  Postulated failure mechanisms, 
namely, stress corrosion cracking (SCC), delayed hydride cracking (DHC) and creep rupture 
(CR), have been examined in detail from two perspectives: the initial environments in which they 
were developed and applied, and their applicability to dry storage conditions.  With respect to the 
former, this report serves as a state of the art review, and with respect to the latter, the report 
presents cogent arguments in favor of, or against, extending the operative range of each of the 
postulated mechanisms to spent fuel dry storage.  In doing so, reliance is made on well-founded 
extrapolation techniques to transfer the mechanisms from their initial in-reactor and laboratory 
domains to out-of-reactor spent fuel dry storage environments.  This transfer has been done both 
qualitatively where necessary and quantitatively when possible, with fracture toughness used as 
the quantitative transfer function.  In this regard, the report provides useful information on 
cladding fracture toughness estimates, recognizing the specific physical conditions of the 
cladding, which may not be found elsewhere in the literature.  The report findings are 
summarized below. 
 
(1) The chemical environment that promotes in-reactor SCC, (PCI failures), is sub-critical to 

be operative in dry storage. 
 
(2) Under the most restrictive conditions, the cladding stress during dry storage remains 

below the SCC threshold stress. 
 
(3) High-burnup effects are insufficient factors for increasing SCC susceptibility during dry 

storage. 
 
(4) There may be troublesome aspects of the cladding thermal history with respect to DHC 

and re-crystallization, which can be avoided by limiting high temperature excursions and 
cycling during vacuum drying.  Other factors, however, come into play (see (5) below). 

 
(5) The continuously decreasing cladding temperature with time, especially if the initial 

drying temperature excursions are sufficiently high, can potentially promote DHC.  
However, the cladding stress intensity KI for conservatively estimated incipient cracks 
remains below the fracture toughness KIH for Stage-I DHC initiation. 

 
(6) Although post-irradiation thermal creep data is not robust, there is sufficient information 

to perform modeling and analysis to reach valid conclusions.  Future data, however, 
would be appropriate to confirm properly posed creep analyses that can be performed at 
present. 
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(7) Careful interpretation of the creep data generated in conventional constant-load creep 
tests is needed before it can be extrapolated to long-term creep behavior. 

 
(8) Creep rupture can be avoided by limiting the creep strain to an appropriately low value 

(see (9) below). 
 
(9) An acceptance criterion of 2% creep strain, supported by existing data, is proposed.  This 

value is appropriately characterized as an asymptotic limit, which can be demonstrated 
analytically, and is easy to confirm experimentally.  This strain limit is shown to be valid 
for fuel conforming to approved zirconium oxide limits, including fuel characterized by 
the presence of hydride lenses on the outer surface of the cladding. 

 
(10) Using a classical leak-before-break analysis technique, the failure mode is shown to be 

equivalent to a pin hole. 
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